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Abstract: A parametric study of regular ductile reinforced concrete (RC) cantilever walls designed with the 2010 National
building code of Canada and the 2004 Canadian Standards Association (CSA) standard A23.3 for Vancouver is performed
to investigate the influence of the following parameters on the higher mode amplification effects, and hence on the seismic
force demand: number of storeys, fundamental lateral period (T), site class, wall aspect ratio, wall cross-section, and wall
base flexural overstrength (gw). The study is based on inelastic time-history analyses performed with a multilayer beam
model and a smeared membrane model accounting for inelastic shear–flexure–axial interaction. The main conclusions are
that (i) T and gw are the studied parameters affecting the most dynamic shear amplification and seismic force demand, (ii) the
2004 CSA standard A23.3 capacity design methods are inadequate, and (iii) a single plastic hinge design may be inadequate
and unsafe for regular ductile RC walls with gw < 2.0.

Key words: parametric study, 2004 CSA standard A23.3, ductile concrete cantilever wall, capacity design, higher mode am-
plification effects, seismic force demand.

Résumé : Une étude paramétrique de murs ductiles réguliers en béton armé dimensionnés avec le Code national du bâti-
ment 2010 du Canada et la norme CSA A23,3 2004 pour Vancouver est réalisée afin d'étudier l'influence des paramètres
suivants sur les effets d'amplification des modes supérieurs, et donc sur la demande sismique en force : le nombre d'étages,
la période fondamentale de vibration latérale (T), la classe du site, l'élancement du mur, la section du mur et la surcapacité
flexionnelle à la base du mur (gw). L'étude est basée sur des analyses dynamiques inélastiques réalisées à l'aide d'une modé-
lisation par poutres multi-couches et une modélisation par membranes considérant l'interaction inélastique force axiale–
flexion–cisaillement. Les conclusions principales sont que (i) T et gw sont les paramètres étudiés ayant le plus d'influence
sur l'amplification dynamique en cisaillement et la demande sismique en force, (ii) les méthodes de dimensionnement à la
capacité de la norme CSA A23,3 2004 sont inadéquates et (iii) une conception à rotule plastique unique peut être inadéquate
et non sécuritaire pour des murs ductiles réguliers en béton armé dont gw < 2,0.

Mots‐clés : étude paramétrique, norme CSA A23,3 2004, mur ductile en béton armé, dimensionnement à la capacité, effets
d'amplification des modes supérieurs, demande sismique en force.

1. Introduction

To produce economical seismic designs, the modern build-
ing codes allow reducing seismic design forces if the seismic
force resisting system (SFRS) of a building is designed to de-
velop an identified mechanism of inelastic lateral response.
The capacity design aims to ensure that the inelastic mecha-
nism develops as intended and no undesirable failure modes
occur. Since the 1984 edition, this design approach is imple-
mented in the Canadian Standards Association (CSA) stand-
ard A23.3 for seismic design of ductile reinforced concrete
(RC) shear walls with the objectives of providing sufficient
flexural strength to confine the inelastic mechanism to identi-
fied flexural plastic hinges and sufficient shear strength to
ensure a flexure-governed inelastic lateral response of the

walls. The implemented capacity design requirements intend
to constrain the inelastic mechanism of a regular wall at the
expected base plastic hinge. This design is referred to as sin-
gle plastic hinge (SPH) design.
Despite the large improvements made to the seismic design

provisions of the 2005 edition of the National building code
of Canada (NBCC) (NRCC 2005) and the 2004 edition of
the CSA standard A23.3 (A23.3-04) (CSA 2004), these codes
can still produce inadequate and potentially risky seismic de-
signs of regular multistorey ductile RC cantilever or coupled
wall structures whose seismic force response is dominated by
lateral modes of vibration higher than the fundamental lateral
mode. The recent work of Boivin and Paultre (2010) shows
that for such walls the capacity design shear envelope deter-
mined from these codes to prevent shear failure can largely
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underestimate the shear force demand under design-level
ground motions, even when the wall response is slightly in-
elastic. This underestimation results from a deficiency of
these codes to account for dynamic amplification effects, in
the elastic and inelastic regimes, due to higher lateral modes.
Boivin and Paultre identified two sources for this underesti-
mation: (i) the 2005 NBCC spectral accelerations underesti-
mate the elastic responses of higher lateral modes of the
walls because their traditional 5% damping overestimates ac-
tual damping (about 2% on average) and hence reduces the
higher mode responses; and (ii) the capacity design methods
prescribed by CSA standard A23.3-04 for shear strength de-
sign do not account for the dynamic amplification of shear
forces due to inelastic effects of higher modes. No such
underestimation problem in flexure was reported by Boivin
and Paultre, likely because of the large flexural overstrength
of the wall system studied by the authors. However, the ca-
pacity design method for flexural strength design prescribed
by CSA standard A23.3-04 to prevent unintended plastic
hinges above the base hinging region is not free from such a
problem because its formulation based on amplified elastic
forces is tributary of the analysis method, static or dynamic,
used to derive these forces. The minor changes made to the
seismic provisions of the 2010 NBCC (NRCC 2010) do not
address these issues.
In this regard, this work proposes for CSA standard A23.3

new capacity design methods, considering higher mode am-
plification effects, for determining, for a SPH design, ca-
pacity design envelopes for flexural and shear strength
design of regular ductile RC cantilever wall structures used
as SFRS for multistorey buildings. This objective is achieved
first by investigating from a parametric study the influence of
various parameters on the higher mode amplification effects,
and hence on the seismic force demand, in these walls, and
second by deriving from the investigation results new ca-
pacity design methods for determining adequate capacity de-
sign shear and moment envelopes for such walls over their
height. Note that the work focusses solely on cantilever walls
because higher mode amplification effects are usually much
more important in cantilever walls than in coupled walls.
This paper presents the first part of this work, that is, the

parametric study. The paper is broken down into first a short
literature review on higher mode amplification effects in RC
walls to identify parameters that can have a significant influ-
ence on these effects, followed by an outline of the method-
ology adopted for the parametric study, and finally a
presentation and a discussion on the results.

2. Review on higher mode effects in RC walls
The seismic force response of RC shear wall structures

used as SFRS for multistorey buildings is generally domi-
nated by the lateral modes of vibration higher than the funda-
mental lateral mode, on which is traditionally based the
common static code procedure for seismic design. The pre-
dominating contribution of higher lateral modes in the elastic
response of such walls produces moment and shear force de-
mand profiles over the wall height significantly different
from and larger (especially at the wall base for shear and at
the upper storeys for flexure) than those resulting from the
static code procedure. These well-known effects are associ-

ated to elastic effects of higher lateral modes. An additional
dynamic effect occurs when the wall response changes from
elastic to inelastic because the relative contribution of higher
lateral modes, primarily that of the second mode, increases
while the first-mode contribution satures and reduces with
the first-mode period lengthening (Seneviratna and Krawin-
kler 1994; Priestley 2003; Sangarayakul and Warnitchai
2004). This dynamic amplification is associated to inelastic
effects of higher lateral modes.
Research on higher mode amplification effects in RC walls

has mainly focussed on the estimation of seismic shear forces
in cantilever walls designed for a SPH at the base. The re-
search has led to several relations for estimating seismic
shear force demand on cantilever walls, particularly the base
shear force. In most of these relations, the shear force corre-
sponding to first-mode response at flexural capacity is in-
creased by a dynamic amplification factor accounting for the
elastic and inelastic effects of higher modes. In the following,
a review of these dynamic factors is conducted to identify the
parameters having a significant influence on the higher mode
effects in cantilever walls and bring out the trends of their in-
fluence.
The pioneering work on higher mode effects in RC canti-

lever walls is that of Blakeley et al. (1975), which is based
on inelastic dynamic analyses of isolated walls designed for
a SPH at the base. The authors found that, at some instants
of the response, the resultant lateral inertia force of a pre-
dominantly higher-mode response can be located much lower
along the wall height than that of a first-mode response, pro-
ducing a base shear increase and a base moment reduction.
Moreover, they found that this base shear amplification in-
creases with the fundamental lateral period of vibration, T1,
of the structure and the ground motion intensity, given the
essentially elastic response of higher modes, and decreases
with the flexural overstrength at the wall base. In addition,
they highlighted the possibility of plastic hinge formation at
levels above the base. The main outcome from this work is
the well-known dynamic shear magnification factor for canti-
lever walls, uv, implemented in the New Zealand concrete
design standard (NZS 2006) to magnify the static shear force
corresponding to first-mode response at flexural capacity:

½1� uv ¼
0:9þ N=10 N � 6

1:3þ N=30 � 1:8 N > 6

(

where N is the number of storeys of the building. This factor
accounts for the elastic and inelastic effects of higher modes.
Iqbal and Derecho (1980) proposed similar factors, based on
T1 this time, for shear and moment strength design.
Several works (Kabeyasawa and Ogata 1984; Aoyama

1987; Ghosh and Markevicius 1990) attempted to estimate
the maximum seismic shear force Vmax at the base of a SPH
RC cantilever wall, isolated or part of a wall-frame structure,
by adding to the wall base shear force corresponding to first-
mode response at flexural capacity, V1y, a force correspond-
ing to higher mode responses, Vhm. All these works proposed
a relation whose format is in essence the same and has shown
to be in good agreement with experimental results (Eberhard
and Sozen 1993). This relation can be expressed as follows:

½2� Vmax ¼ V1y þ Vhm ¼ My=0:67H þ DmWAg ¼ umvV1y
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½3� umv ¼ 1þ DmWAg=V1y

where umv is a dynamic base shear amplification factor, My is
the wall bending strength at the base determined from an in-
verted triangular force distribution over the entire height H of
the wall, W is the total weight of the structure, Ag is a peak
acceleration coefficient, expressed as a ratio of gravitational
acceleration, taken as either the peak acceleration or an effec-
tive peak acceleration of the input ground motion, and Dm is
a coefficient that for some is constant and equal to 0.25
(Ghosh and Markevicius 1990), and for others increases with
the number of storeys (N) of the structure (Kabeyasawa and
Ogata 1984; Aoyama 1987) and with the design displacement
ductility ratio, mD (Seneviratna and Krawinkler 1994). For
N ≥ 30, Seneviratna and Krawinkler (1994) observed that
Dm becomes independent from the ductility ratio and con-
verges toward a value of about 0.34, as found by Aoyama
(1987). The dependence of umv (eq. [3]) on N is in line with
that of uv (eq. [1]). However, umv directly captures more
parameters having an influence on higher mode effects than
uv. This deficiency of uv in capturing causative parameters
can result in significant underestimations of dynamic shear
amplification in walls (Keintzel 1990; Seneviratna and Kra-
winkler 1994; Priestley and Amaris 2003).
From inelastic dynamic analyses of isolated SPH RC canti-

lever walls designed from a direct displacement-based design
(DDBD) method, Priestley (2003) derived the following dy-
namic base shear amplification factor, uv

*, which aims to
amplify the base shear determined with the DDBD method
and also attempts to fix the underestimation issue of uv
(eq. [1]):

½4� u�
v ¼ 1þ BTmD=fo

½5� BT ¼ 0:067þ 0:4ðT1 � 0:5Þ � 1:15 ðT1 � 0:5 sÞ
where fo is the flexural overstrength factor at the wall base.
Figure 1 illustrates eq. [4] for mD = 5.6 and four fo values,
and compares it with eq. [1]. Figure 1 shows a considerable
influence of fo on dynamic base shear amplification and a
large difference between the two relations, in part because of
the different design methods to which they are associated. A
comparison between eqs. [4] and [3] shows similarities,
knowing that Dm in some extent depends on T1 and that V1y
can be expressed as foV1e/mD where V1e is the elastic base
shear force associated to first lateral mode.
For RC walls designed for high ductility, the 2004 edition

of the Eurocode 8 (EC8) (CEN 2004) requires that the design
shear force diagram determined from linear analysis be am-
plified by the following dynamic shear amplification factor,
3, which is based on the formula proposed by Keintzel
(1990):

½6� 3 ¼ q

ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
gRd

q
�MRd

MEd

� �2

þ 0:1
SeðTcÞ
SeðT1Þ

� �2
s

with 1.5 ≤ 3 ≤ q, where q is the behavior factor (equivalent
to mD) used for design, MRd is the design flexural resistance
at the wall base, MEd is the design bending moment at the
wall base, gRd is the factor to account for overstrength due to
strain hardening of the reinforcement (may be taken as 1.2),

T1 is the fundamental lateral period of the structure, Tc is the
upper limit period of the constant spectral acceleration region
of the spectrum and Se(T) is the ordinate of the elastic accel-
eration response spectrum at period T. Equation [6] was de-
rived considering only the first two lateral vibration modes.
The first term within the square root corresponds to the shear
force likely to develop at flexural capacity under a first-mode
response, while the second term corresponds to the shear in-
crease due to higher mode effects. Note that, unlike CSA
standard A23.3-04, which is silent on dynamic shear amplifi-
cation in moderately ductile (MD) walls, the 2004 EC8 re-
commends 3 = 1.5 for these walls. Various works (Linde
1998; Priestley and Amaris 2003; Rutenberg and Nsieri
2006) indicated that eq. [6] can significantly overestimate the
dynamic base shear amplification in short-period ductile
walls while underestimating it in long-period ones. In an at-
tempt to fix that problem, Rutenberg and Nsieri (2006) pro-
posed the following formulas for the 2004 EC8 for
determining the seismic design base shear force, Vdb, for duc-
tile walls:

½7� Vdb ¼ 3�Vby ¼ ½0:75þ 0:22ðT1 þ qþ T1qÞ�Vby

½8� Vby ¼ My

ð2=3ÞH½1þ ð1=2NÞ�
where 3* is a dynamic base shear amplification factor. Equa-
tion [7] is based on the observation that dynamic amplifica-
tion of the base shear force increases quite linearly with T1
and q. The 3* factor is compared to eqs. [1] and [4] in
Fig. 1 for q = 5.6.
Since the 2005 edition, the NBCC has introduced a new fac-

tor, Mv, in the calculation of the code-specified base shear force
to account explicitly for the dynamic magnification of base
shear due to elastic effects of higher modes. Table 1 gives the
Mv values specified in the 2010 NBCC for cantilever walls. A
ratio Sa(0.2)/Sa(2.0) < 8.0 is typical for the western Canadian
regions, where earthquake ground motions have primarily a
low frequency content, and a ratio Sa(0.2)/Sa(2.0) ≥ 8.0 is typi-
cal for the eastern Canadian regions, where ground motions
have principally a high frequency content. Once again, Table 1
shows, as eqs. [3] and [6], that, in addition to the fundamental
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Fig. 1. Comparison between the dynamic shear amplification factors
uv (eq. [1]), u�

v (eq. [4]), and 3* (eq. [7]) for mD (≡q) = 5.6 and
assuming T1 = 0.1N.
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lateral period of the building (Ta), the input earthquake motion,
and hence the seismic zone, has an influence on higher mode
effects, such as suggested also by Filiatrault et al. (1994) for
selecting their proposed shear reduction factor.
Based on the previous review on dynamic shear amplifica-

tion factors, it can be concluded that the parameters most af-
fecting the higher mode amplification effects in isolated RC
cantilever walls are the fundamental lateral period (T1) of the
structure, and (or) the number of storeys (N), the design dis-
placement ductility ratio (mD), the flexural overstrength at the
wall base, and the ground motion intensity and frequency
content, which implies the seismic zone which is character-
ized by its seismic hazard and site conditions. From all re-
viewed relations of dynamic shear amplification factor,
eq. [3] appears the most appropriate to directly capture the
main parameters affecting higher mode effects.
It is important to point out, however, that the above obser-

vations and relations for estimating dynamic shear amplifica-
tion were derived from two-dimensional (2D) inelastic time-
history analyses (ITHAs) performed with generally lumped
plasticity beam elements where flexural deformation was
modelled with bilinear hysteresis rules and shear deformation
was modelled linearly elastic or with a nonlinear shear spring
uncoupled from flexural and axial deformations. This simple
modeling tends to largely overestimate shear predictions be-
cause important nonlinear physical phenomena, such as
cracking, shear–flexure–axial interaction, and strength decay,
that occur in actual laterally deformed RC walls are not taken
into account. Moreover, such modeling could not capture the
inelastic shear deformation differences between different wall
cross-sections. In addition, the ITHAs were often carried out
with strong historical ground motions of the western US that
are not necessarily representative of the magnitude–distance
ranges and tectonic environment that cause the seismic haz-
ard of the main Canadian seismic regions for the design
probability level. These important modeling deficiencies and
input earthquake differences highlight the limitations of the
presented observations and relations. This indicates the need
for further investigation on the parameters influencing higher
mode effects in isolated RC walls and for more sophisticated
and representative simulations to get realistic estimates for
Canadian regions.
It is also important to add that the list of parameters influ-

encing the higher mode amplification effects in RC shear
wall systems is not limited to those affecting isolated cantile-
ver walls. System-related parameters, such as the beam-to-
wall strength ratio in coupled walls (Munshi and Ghosh
2000), the sequence of hinge formation (Rutenberg and
Nsieri 2006), and the relative inelastic shear deformation
(Adebar and Rad 2007) between the walls composing a wall
system, and the frame-to-wall stiffness ratio in dual systems
(Rutenberg and Nsieri 2010), can also play a significant role

on dynamic shear amplification. However, these parameters
are not addressed in this paper.

3. Parametric study methodology
The parametric study aims to investigate the influence of

various parameters on the higher mode amplification effects
and hence on the seismic force demand on regular ductile
RC cantilever walls. In this regard and based on the out-
comes from the previous review, the methodology adopted
in this work for the parametric study is as follows:

1. Selecting the parameters to be studied and assigning them
a value range;

2. Designing and detailing for seismic forces each studied wall
case with the 2010 NBCC and CSA standard A23.3-04 to
meet the parameter values associated to that case;

3. Modeling and simulating numerically the inelastic seismic
response of each studied case using two different model-
ing approaches, a simple one and a more realistic one;
Each stage is detailed in the following sections.

3.1. Studied parameters
From the parameters identified in section 2, the following

were considered for the parametric study: number of storeys
(N), fundamental lateral period (T), design displacement duc-
tility ratio (mD), flexural overstrength at the wall base (gw),
wall aspect ratio (Ar), wall cross-section (WCS), seismic
zone, and site class (SC). The mD ratio and the seismic zone
are the only two parameters fixed for the study. In the 2010
NBCC, the mD ratio corresponds to the product of the duc-
tility-related and overstrength-related force reduction factors
Rd and Ro, respectively, using the equal displacement as-
sumption. For the ductile RC cantilever walls studied, the
product RdRo = 3.5 × 1.6 = 5.6. The seismicity of the city
of Vancouver located on the Canadian West coast was se-
lected for the study because this city has the highest urban
seismic risk in Canada. Its high seismic hazard is representa-
tive of that of western Canadian cities and ductile RC walls
are the preferred SFRS in this region. Figure 2 shows the
2010 NBCC design spectra for Vancouver for different site
classes. Although the earthquake ground motions of the
West coast have typically a lower high frequency content
than those of eastern Canada, their motion intensity is in
general much higher. Consequently, this gives a better con-
trol on flexural overstrength (gw) because seismic design is
further governed by the design forces than by the required
minimum reinforcement.
Table 2 gives the values considered for the studied varying

parameters. The N values range from 5 to 40. For each N
value, two T values were selected. Their selection is based
on in situ measurements, shown in Fig. 3, of fundamental lat-
eral periods of multistorey RC wall buildings. Using a mean
storey height of 3.5 m, Fig. 3 shows that most of these meas-
urements are within the range defined by Ta, the empirical
fundamental period specified by the 2010 NBCC for wall
buildings, and 2Ta, the upper bound specified by the NBCC
for seismic design of such structures. The selected T values
are approximately equal to or within these limits and range
from 0.5 s to 4.0 s, which is the minimum period of the con-
stant acceleration region of the design spectra (see Fig. 2).
Four different WCSs were considered: rectangular (RT),

Table 1. Values specified in the 2010 NBCC for canti-
lever walls of the factor Mv to account for higher mode
effects on base shear.

Sa(0.2)/Sa(2.0) Ta ≤ 1.0 Ta = 2.0 Ta ≥ 4.0
<8.0 1.0 1.2 1.6
≥8.0 1.0 2.2 3.0
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barbell-shaped (BB) and two I-shaped ones (I1 and H1), as
illustrated in Fig. 4. For all studied cases, WCSs were bent
about their strong axis. For a given N, a typical WCS was
used except for N = 20 where the influence of the four differ-
ent WCSs on the wall response was studied. In the elastic re-
gime, for a given T, changing Ar does not affect the higher
mode amplification effects because the latter are controlled
by T. In the inelastic regime, however, the increase of higher
mode contribution as T lengthens because of base yielding
may likely result into larger dynamic shear amplifications for
slender walls. The selected Ar values were obtained by
changing the wall length (lw) and by keeping constant the
storey height, which is 3.5 m (3.0 m for three cases). This
change results in different plastic hinge heights at the wall
base as this height is assumed proportional to lw. The flexural
overstrength at the wall base, gw, is calculated as the ratio of
the nominal moment resistance (Mn) and the design moment
(Mf) at the wall base. As suggested by eq. [4] (fo ≡ gw), gw
reduces mD resulting in an effective mD, which provides a
better estimate of the expected displacement ductility demand
on a cantilever wall and hence of the likely dynamic amplifi-
cation levels. Larger the gw, the lower should be the dynamic
shear amplification in the inelastic regime, as shown in
Fig. 1. The considered gw values range from 1.3 to 4.0,
where 1.3 is the minimum value specified by CSA standard
A23.3-04 for seismic design of wall structures and 4.0 ap-
proximates the theoretical overstrength limit before shear
strength design of ductile walls is controlled by the elastic
shear forces, which is 5.6/1.3 ≈ 4.3. As indicated in Table 2,
four of the six site classes (SCs) defined in the 2010 NBCC
were considered for the study. As shown in Fig. 2, the design
spectra associated to the selected site classes enable to ac-
count for the possible soil amplification effects, excluding
those associated to the unclassified site class F (other soils).
The site class effects were studied only for N ≤ 10 because
soil amplification effects generally reduce with increasing T,
assuming a soil, even a soft one, largely stiffer than the struc-
ture. From all selected parameter values, it results a total of
59 different wall cases, considering that a single SC was
used when varying the gw values for a given N-T pair and
vice versa.

3.2. Seismic design and detailing
For seismic design, each studied wall case was modelled

as a fixed-base isolated wall meshed with linear beam ele-
ments. For a given T value, the total mass of the system was
calculated using the Rayleigh period formula for a uniformly
laterally loaded cantilever wall with considerations for shear
deformation and for the mass idealization difference between
the uniformly distributed mass assumed by the formula and
the lumped mass adopted for modeling. Seismic design
forces were obtained from the modal response spectrum
method prescribed by the 2010 NBCC, with the exception
that the design base shear force, Vd, was always that resulting
from the modal superposition and the force reduction with
RdRo (NBCC building importance factor, IE = 1). In other
words, the NBCC limitations about Vd were omitted as well
as the NBCC requirements about accidental torsion. In all
cases, the first five lateral mode responses were superposed
with the SRSS (square root of the sum of the squares)
method, ensuring a participation of at least 90% of the total
mass. Concrete cracking was accounted for by using the ef-
fective section properties recommended by CSA standard
A23.3-04, assuming an axial compressive force at the wall
base, Pb, of 0:1f 0cAg, where f 0c is the specified concrete com-
pressive strength and Ag is the gross cross-section area of the
wall. The resulting effective properties equal to 70% of the
gross properties. The specified material properties used for
design are f 0c ¼ 30 MPa and fy = 400 MPa for steel yield
strength. Typical wall thicknesses varying between 400 mm
and 700 mm were used. The anticipated overall drifts for all
studied cases are lower than 1.0%.
A capacity design was performed for each wall case ac-

cording to CSA standard A23.3-04 to constrain the plastic
mechanism at the wall base and prevent shear failure. As re-
quired, the capacity design shear envelope, Vcap, is the greater
of (i) the shear corresponding to the development of the
probable moment capacity of the wall base, which is deter-
mined as recommended in the Explanatory notes on CSA
standard A23.3-04 (CAC 2006), that is

½9� Vp ¼ Vf

Mp

Mf

� �
base

where Vf is the design shear force, Mf is the design moment
at the wall base, both determined from the modal response
spectrum method, and Mp is the probable moment resistance
at the wall base calculated with the specified concrete com-
pressive strength f 0c and an equivalent steel yield stress of
1.25 fy; and (ii) the shear, Vah, corresponding to the develop-
ment of the factored moment resistance just above the base
hinge zone; but is not taken greater than the shear force limit,
Vlimit, which is determined from the elastic shear forces ob-
tained from the modal superposition and reduced with RdRo =
1.3. Note that, above the hinge zone, Vah was generally
slightly larger than Vp, but never by more than 10%. Also,
as expected, for all wall cases with gw = 4.0, Vlimit controls
the design and is less than Vp by no more than 10%. See
Boivin and Paultre (2012) for more details on the required
capacity design envelopes. The walls were reinforced in ac-
cordance with CSA standard A23.3-04, which means that
reinforcement was set within the required minimum and
maximum reinforcement limits. Moreover, curtailments of
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Fig. 2. 2010 NBCC (5% damped) design spectra for Vancouver for
different site classes (A: hard rock; B: rock; C: very dense soil and
soft rock; D: stiff soil; E: soft soil).
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vertical reinforcement along the wall height were such that
the wall flexural strength reduction between two adjacent
storeys did not exceed between 20% and 10% for short and
long-period walls, respectively. Preliminary analyses showed
that, in some cases, larger strength reductions could produce
at the upper storeys, as T increased, an unintended plastic
hinge at the storey just above the reinforcement curtailment
even if the flexural strength was greater than the capacity
design envelope. Each wall was axially loaded by a static
compression force reducing linearly from the base to the
top, with a base axial force Pb ¼ 0:1f 0cAg, which is typical
in actual multistorey RC walls. It is important to note that
variations in the material properties or in the base axial
compression force have negligible effects on the wall re-
sponse in comparison with variations in the input earth-
quake. Therefore, fy and Pb values were sometimes
reasonably modified from their nominal value to meet the

selected gw values. To that end, vertical reinforcement was
also set slightly outside the prescribed reinforcement limits
in some cases.

3.3. Modeling for inelastic seismic analysis
The simulation of the inelastic seismic response of each

studied wall case was performed with the ITHA using the
constant acceleration Newmark method for time integration.
Each wall case was modelled as a fixed-base isolated cantile-
ver wall. This modeling assumes that (i) the foundation mo-
ment resistance is such that the plastic mechanism forms in
the wall only, (ii) there is no rocking of the foundation, and
(iii) the soil–structure interaction can be neglected because
the soil is largely stiffer than the structure. Note that founda-
tion rocking is now allowed by the NBCC since the 2005 ed-
ition. This can significantly reduce the seismic force demand
on a wall (Filiatrault et al. 1992).

3.3.1. Structural models
Two 2D modeling approaches were adopted for simulating

the inelastic seismic response of each studied wall case. For
the first approach, the finite element analysis program Vec-
Tor2 (VT2) (Wong and Vecchio 2002) was used. This speci-
alized program enables the simulation at global and local
levels of the nonlinear static and dynamic behaviors of RC
structures from 4-node, smeared material-based membrane el-
ements formulated from the modified compression field

Table 2. Varying parameter values for the parametric study.

N T WCS Ar gw SC
5 0.5 RT 3.5 1.3, 2.0, 3.0, 4.0 A, C, D, E

1.0 RT 5.833 1.3, 2.0, 3.0, 4.0 A, C, D, E
10 1.0 RT 3.5 2.0 A, C, D, E

RT 4.375 2.0 C
RT 5.833 1.3, 2.0, 3.0, 4.0 C

1.5 RT 4.375 2.0 C
RT 5.833 1.3, 2.0, 3.0, 4.0 A, C, D, E
RT 8.75 2.0 C

15 1.0 BB 4.375 1.3, 2.0, 3.0, 4.0 D
2.0 BB 7.0 1.3, 2.0, 3.0, 4.0 D

20 1.5 I1 7.0 2.0 D
2.0 RT 7.0 2.0 D

BB 7.0 1.3, 2.0, 3.0, 4.0 D
I1 7.0 2.0 D
H1 7.0 2.0 D
I1 10.0 2.0 D

30 2.0 I1 8.57 2.0 D
3.0 I1 10.0 1.3, 2.0, 3.0, 4.0 D

40 3.0 I1 10.0 2.0 D
4.0 I1 11.67 1.3, 2.0, 3.0, 4.0 D
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Ta = 0.05(N ⋅ hs )3/4
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2.0 Ta

Fig. 3. Measured fundamental lateral periods vs. number of storeys
of RC wall buildings compared to 2010 NBCC empirical period Ta
(measurements are from Goel and Chopra 1998; Lee et al. 2000;
Ventura et al. 2005; Kim et al. 2009; and Gilles 2010).

Fig. 4. Wall cross-sections (WCSs) studied.
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theory and the disturbed stress field model (Vecchio 2000).
With this formulation, reinforcement is assigned as a property
to the membrane element and then smeared with concrete
properties. This element formulation enables to account for
inelastic shear deformation and shear–flexure–axial interac-
tion. The VT2 constitutive laws selected to model the mate-
rial responses of concrete and reinforcement steel are given
in Table 3. The material properties were used at their speci-
fied value (nominal). The default laws of all other material
responses modelled in VT2 were used for analysis as well as
the default values of analysis parameters. Also P-delta effects
were taken into account. The mass storey used for seismic
design was lumped at each floor level, as illustrated in
Fig. 5. The slab membrane effect at each floor level was
modelled with linear elastic bar elements, as shown in
Fig. 5, assuming an effective width of 1 m and a thickness
of 200 mm. Other works have shown the reliability of VT2
to adequately simulate, with very similar modeling consider-
ations and within the limits of similar design ductilities, cy-
clic and dynamic test responses of RC wall specimens
designed with CSA standard A23.3-04 (Ghorbanirenani
2010). For the second modeling approach, the open-source
software framework OpenSees (OS) (version 2.1.0) (Mazzoni
et al. 2006) was used. In this approach, the wall structure was
modelled using force-based multilayer beam–column ele-
ments with a mesh of one element per storey, and the mass
storey was lumped at each floor level, as shown in Fig. 5.
The hysteretic responses of concrete and reinforcement steel
were modelled with the OS uniaxial material laws Con-
crete03 and Steel02, respectively. The strain hardening and
the Bauschinger effect of reinforcement steel were taken into
account. The backbone curves in compression and tension of
the concrete law were represented with the modified Park-
Kent model to account for confinement effects and the modi-
fied Bentz model (Vecchio 2000) to account for tension stiff-
ening, respectively. The material properties were the same as
those used for VT2. The wall shear deformation was mod-
elled linearly elastic considering the effective shear area of
the wall cross-section. This shear model was aggregated to
the element formulation. It results in a shear deformation un-
coupled from flexural and axial deformations. This modeling
is a common simplification and its selection aims to assess
the overestimation level it produces on shear response of
ductile walls. The P-delta effects were modelled with a coro-
tational transformation. The number of integration points
(NIP) for each element was initially set to 5 for accuracy but
the in-house Tcl (Tool command language) program devel-
oped for parametric analysis with OS automatically reduced

the NIP gradually up to 3 if convergence failed. This Tcl pro-
gram also automatically changed within the analysis the non-
linear solution algorithm if convergence failure occurred.
Preliminary analyses showed very good agreements between
the dynamic deformation and force responses obtained from
the VT2 simulations and those obtained from the OS simula-
tions, apart from the OS peak responses being generally larger.

3.3.2. Damping model
The damping model used for ITHA with VT2 and OS is

the initial stiffness-based Rayleigh damping because this is
the sole damping model implemented in VT2. To avoid pos-
sible problems of spurious damping forces, and hence of
force equilibrium, due to high damping in the high modes re-
sulting from this model (Crisp 1980), Rayleigh damping was
specified at the first mode and at the mode number equal to
N, which is the last mode, ensuring that the highest modes of
the structure remain sub-critically damped throughout the re-
sponse. For seismic analysis of multi-degree-of-freedom
building structures with T > 0.5 s, Léger and Dussault
(1992) recommended Rayleigh damping and showed that the
influence of the selected Rayleigh damping formulation is
not so significant on the seismic response and becomes neg-
ligible for structures with T > 1.5 s. This suggests that the
Rayleigh damping model used in this project does not limit
the reach of the obtained results since the selected T values
range from 0.5 s to 4.0 s. As damping is intended to model
the intrinsic damping of buildings prior to concrete cracking,
a modal damping ratio of 2% of critical was assigned to the
first and last modes. This modal damping value is a typical
mean value for multistorey RC wall buildings, though intrinsic
damping of buildings is highly scattered (CTBUH 2008;
Gilles 2010).

Table 3. Selected VT2 concrete and steel constitutive laws.

Material Constitutive law Modelled response
Concrete Popovics (NSC) Compression pre-peak

Modified Park-Kent Compression post-peak
Kupfer-Richart Confined strength
Palermo Hysteretic response with

strength decay
Modified Bentz Tension stiffening

Steel Seckin (trilinear) Hysteretic response with
Bauschinger effect

Note: NSC, normal strength concrete.

Fig. 5. Structural wall models for ITHA with OpenSees and Vec-
Tor2.
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3.3.3. Input earthquakes
Atkinson (2009) generated synthetic earthquake time his-

tories that may be used to match the 2005 NBCC uniform
hazard spectra (UHS) for eastern and western Canadian re-
gions and for site classes A, C, D, and E. These UHS corre-
spond to a 2500 year return period earthquake event. For the
western Canadian region and a given site class, Atkinson si-
mulated 45 statistically independent records for each of the
following magnitude-distance scenarios associated to crustal
and in-slab earthquake events: M 6.5 at 10–15 km, M 6.5 at
20–30 km, M 7.5 at 15–25 km, and M 7.5 at 50–100 km.
The M 6.5 and M 7.5 records correspond to short and long
duration events, respectively. Since the 2005 and 2010
NBCC UHS for Vancouver are the same, 10 of these records
were selected for each scenario of a site class and matched,
as recommended by Atkinson, to the design spectra, resulting
in 40 UHS-compatible records per site class. Note that the re-
cords were matched over period ranges specific to scenarios
and not over the whole period range of a spectrum. Each re-
cord was used as a horizontal seismic excitation only. The
constant time step of the records is either 0.002 s or 0.005 s.
It is relevant to note that the selected records were

matched to the 5% damped design UHS, as recommended
by the 2010 NBCC for design purposes, but were used for
the seismic analysis of the studied structures with 2% Ray-
leigh damping. Matching with 2% damped UHS might have
been more appropriate for the few studied cases where lateral
deformations were expected to remain elastic. For the other
cases, however, inelastic deformations add hysteretic damp-
ing to the initial damping, producing a total equivalent damp-
ing that may significantly exceed 5% of critical when
deformations occur at yielding and beyond (Newmark and
Hall 1982).

3.3.4. Inelastic time-history analysis
The selected 59 wall cases, with 40 records per case, and 2

modeling approaches resulted in a total of 4720 analyses. Be-
cause of the considerable number of analyses and the large
analysis runtime and large amount of output data generated
by VT2, the analyses were carried out with the 576-node par-
allel supercomputer of the University of Sherbrooke, produc-
ing more than 6 Tb of output data. To process this data,
MATLAB stand-alone programs were developed and auto-
matically executed after each analysis through a procedure
script.

4. Dynamic analysis results
All predicted demands for a given wall case presented in

this section are the means obtained from 40 ground motions.
The dynamic shear amplification at a given storey is calcu-
lated as the ratio of the mean predicted storey shear force de-
mand to Vp (eq. [9]). The dynamic shear amplification is
calculated at the wall base and as the average value over all
storeys (AOS). In addition to these response parameters, the
predicted moment, storey shear force, and curvature ductility
(mf) demands over the wall height are presented. For clarity
purposes, the presented curves of curvature ductility demand
are envelopes of the maximum curvature ductility of each
storey (which always occurs at the storey base for the studied
walls), and hence are smoothed mean distributions of the cur-
vature ductility demand along the wall height. The moment

and storey shear force demands are normalized relative to
the nominal base moment resistance (Mn base) and the pre-
dicted base shear force demand (Vbase), respectively. It is
noted that curvature ductility is only predicted with OS by
estimating the global yield curvature of a wall section from a
trilinear idealization of its monotonic moment–curvature re-
sponse. VT2 does not output curvature which is not simple
to determine because plane sections do not remain plane due
to inelastic shear deformation. Nevertheless, the OS curvature
predictions are reasonable estimates because OS generally
predicted slightly more flexural yielding than VT2. Note that
it was observed that the complete formation of a plastic hinge
is associated to a rapid increase of the curvature ductility and
that this formation occurs when mf ≈ 2. This value depends
on the moment–curvature idealization used to determine the
global yield curvature of a wall section. Since the overall
drift measured at the top of a wall is considered by most co-
des as an indicator of the rotational demand at the wall base,
note that the largest mean overall drift predicted in this work
is about 1.5% for a 5-storey wall and reduces to about 0.6%
for a 40-storey wall.

4.1. Influence of wall aspect ratio (Ar)
Figure 6 shows the influence of Ar on dynamic shear am-

plification and curvature ductility demand for a 10-storey
wall with a site class C and gw = 2.0. Based on the OS pre-
dictions (Fig. 6a), dynamic shear amplification increases with
Ar, especially for T = 1.0 s. The VT2 predictions (Fig. 6b),
however, indicate no such significant increase for T = 1.0 s,
even no increase for T = 1.5 s, and much lower amplification
values. Although not shown, the profiles of the force de-
mands along the wall height predicted with OS and VT2 are
quite similar and do not significantly change with the se-
lected Ar. As shown in Fig. 6c, the main influence of Ar is
on the base curvature ductility demand, which largely in-
creases with decreasing Ar. For a given Ar value, this ductility
demand also increases with T. Note that the predicted plasti-
city height at the wall base, which is the height from the base
over which mf ≥ 1, is about 10% of the wall height (H) irre-
spective of Ar. This suggests that Ar, and hence the wall
length (lw), has a negligible influence on the plasticity height
since the wall height is kept constant. This result, however,
has to be balanced with the fact that the plasticity height pre-
dictions do not account for inelastic shear deformation and
shear cracking, which can produce significantly larger plasti-
city heights for walls with low Ar values (Bohl and Adebar
2011). The results shown in Figs. 6b and 6c suggest that
there is no relation between the dynamic shear amplification
and the curvature ductility demand at the wall base. Further-
more, in general no plastic hinge mechanism is predicted at
the upper storeys in spite of light flexural yielding, as illus-
trated in Fig. 6c.

4.2. Influence of site class (SC)
Figure 7 shows the influence of the SC, predicted with

VT2, on dynamic shear amplification and shear force de-
mand for wall cases with N = 5 and 10 and gw = 2.0. Fig-
ures 7a and 7b show that the selected SC has no significant
influence on the AOS dynamic shear amplification, espe-
cially for T ≥ 1.0 s. The dynamic shear amplification at the
wall base appears to be more sensitive to the selected SC,
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primarily to SCs A and E likely because of their significantly
different respective spectrums, as shown in Fig. 2. Although
not shown, the OS predictions suggest a much larger sensitiv-
ity of dynamic shear amplification to SC. Note that the force
demand profiles along the wall height predicted with OS and
VT2 are quite similar and do not significantly change with
the selected SC, except for the shear force demand predicted
with VT2 for T = 0.5 s, as illustrated in Fig. 7c. Also, in
general no plastic hinge mechanism is predicted at the upper
storeys for any SC.

4.3. Influence of wall cross-section (WCS)
Figure 8 shows the influence of the WCS, predicted with

OS and VT2, on dynamic shear amplification for a 20-storey
wall with T = 2.0 s, SC = D, and gw = 2.0. It is observed
that the OS predictions differ significantly in magnitude and
trend from the VT2 predictions. The OS predictions suggest
that the WCS has no influence on dynamic shear amplifica-
tion whereas the VT2 predictions indicate a linear decrease of
amplification between the WCSs RT and H1, resulting in a
base amplification reduction of about 20% between these
two WCSs. The dynamic shear amplifications at the wall
base predicted with OS for the WCSs RT and H1 are 10%
and 40% larger than those predicted with VT2, respectively.
This brings up the importance of accounting for nonlinear
shear deformation when predicting the seismic shear response
of flanged walls. Note that the force demand profiles along

the wall height predicted with OS and VT2 are almost the
same and do not significantly change with the selected
WCS. Also in general no plastic hinge mechanism is pre-
dicted at the upper storeys for any WCS.

4.4. Influence of wall base overstrength (gw)
Figure 9 shows the influence of gw, predicted with VT2,

on dynamic shear amplification and force demand for wall
cases with N = 5, 10, 15, 20, and 40. The predictions show

Fig. 6. Influence of wall aspect ratio on seismic response: (a) dynamic shear amplification (from OS); (b) dynamic shear amplification (from
VT2); (c) curvature ductility demand (from OS; mf = 1 ≡ sectional yielding).

Fig. 7. Influence of site class on seismic response (from VT2): (a) dynamic shear amplification for N = 5; (b) dynamic shear amplification for
N = 10; (c) normalized storey shear force demand for N = 5.

RT BB I1 H1
1.0

1.5

2.0

2.5

3.0

Wall cross-section

D
yn

am
ic

 s
he

ar
 a

m
pl

ifi
ca

tio
n N=20, T=2.0, SC=D, γ

w
=2.0

Base, OS
Base, VT2
AOS, OS
AOS, VT2

Fig. 8. Influence of wall cross-section on dynamic shear amplifica-
tion (from OS and VT2).
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that dynamic shear amplification rapidly decreases, almost
linearly sometimes, with increasing gw, for any N value. As
the gw values increase from 1.3 to 4.0, the mean base shear
amplification values predicted for all N values decrease from
a maximum of 2.7 to a minimum of 1.0. For comparison pur-

poses, the corresponding values predicted with OS are 3.1
and 1.2. The maximum amplification values, which are asso-
ciated to T = 4.0 s and gw = 1.3, predicted with VT2 and OS
are by far much lower than the amplification values calcu-
lated with u�

v (eq. [4]) and 3* (eq. [7]) for the same T, mD,

Fig. 9. Influence of wall base overstrength (gw) on dynamic shear amplification and shear force and moment demands: (a) N = 5; (b) N = 10;
(c) N = 15; (d) N = 20 and 40.
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and gw values, as observed in Fig. 1. Figure 10, which com-
pares all dynamic shear amplification predictions given in
Fig. 9, shows that, for N = 5, dynamic shear amplification
significantly increases with increasing T from 0.5 s to 1.0 s,
and, for the other N values, dynamic shear amplification in-
creases slowly, or reduces sometimes, with increasing N and
T. Also this figure shows that un (eq. [1]) conservatively esti-
mates dynamic shear amplification only for gw ≥ 3.0. For
gw = 1.3, the reductions of base shear amplification observed
in Fig. 10 as T increases for a given N result of significant
flexural yielding (mf > 2) at the upper storeys, as illustrated
in Fig. 11. Although gw affects dynamic shear amplification,
Fig. 9 indicates that gw has no significant influence on the
storey shear force profile along the wall height for T ≥ 1.0,
resulting in very similar profiles.
For the flexural demand, Fig. 9 shows that T and gw have a

significant influence. Actually as T increases so does the
flexural demand, particularly at the upper storeys, but as gw in-
creases, this demand reduces rapidly without, however, inhibit-
ing the plastic hinge mechanism at the wall base, even for
gw = 4.0, as illustrated in Fig. 11. Curiously, Fig. 11 shows
that the curvature ductility demand at the upper storeys for
gw = 1.3 and a given T reduces with increasing N. Actually,
this reduction results from the required minimum flexural rein-
forcement which produces at these storeys as N increases, mo-
ment resistances increasingly larger than the capacity design
moment envelope. Despite this large overstrength, flexural
yielding is predicted at the upper storeys, meaning that the
flexural demand has significantly exceeded the capacity design
envelope. In general, however, no such excess is predicted for
T = 0.5 s and for gw ≥ 3.0 irrespective of T. Figure 11 shows
that in general no plastic hinge mechanism is predicted at the
upper storeys (mf < 2) for gw ≥ 2.0 despite sometimes light
flexural yielding. Figure 9d shows a certain match between
the moment demand profiles for T = 2.0 s and 4.0 s and that
the moment profiles associated to T = 4.0 s become slightly
lower than those associated to T = 2.0 s as gw increases. Sim-
ilar observations can be made for curvature ductility demand
(see Fig. 11d). This suggests that the higher mode contribution
to flexural response saturates for T > 2.0 s and its relative in-
fluence on response becomes less as gw increases.

From Fig. 11, note that, for gw ≥ 2.0, the plasticity height
at the wall base decreases, with respect to H, from about 20%
to 2.5% of H as N (or H) and gw increase. This differs from
the relation 0.5lw + 0.1H prescribed by CSA standard A23.3-
04 for determining the base plasticity height requiring special

Fig. 10. Influence of wall base overstrength (gw) on dynamic shear
amplification (from VT2) and comparison with uv (eq. [1]).

Fig. 11. Influence of wall base overstrength (gw) on curvature ducti-
lity demand (mf = 1 ≡ sectional yielding): (a) N = 5; (b) N = 10;
(c) N = 15; (d) N = 20 and 40.
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ductile detailing, where the estimated plasticity height is at
least 10% of H and independent of gw. This shows that this
relation is inadequate, giving too conservative base plasticity
height estimates for tall walls with large flexural overstrength
at the wall base. Although the plasticity height predictions do
not account for inelastic shear deformation and shear crack-
ing, their influence should reduce with increasing H and gw,
and hence should not change the previous result.
Note that, from all the studied parameters, gw has the most

significant influence on the dispersion of moment demand
predictions but its influence on the dispersion of shear de-
mand predictions is practically negligible, just like that of
the other studied parameters. From all the cases considered
for studying the influence of gw, the coefficient of variation
(CV = standard deviation/mean), which is a relative measure
of dispersion, for the VT2 moment demand predictions is, on
average, about 8% for gw = 1.3 and increases up to about
15% for gw = 4.0, while the CV for the VT2 shear demand
predictions is, on average, about 15% for any given gw value.
This shows that dispersion in force demand predictions is rel-
atively low, in the context of earthquake engineering, and that
the lower the gw is, or larger the curvature ductility demand
is at the wall base, the less scattered are the moment predic-
tions, especially at the wall base where the CV reduces, on
average, from about 13% to 3% when gw decreases from 4.0
to 1.3, respectively.

5. Discussion
The results presented in the previous sections show that,

from the studied parameters, those affecting the most dy-
namic shear amplification and seismic force demand in duc-
tile RC walls are T and gw. Actually they show that, for a
given T, the relative higher mode contribution in the seismic
force demand highly depends on gw. While for any T, dy-
namic shear amplification largely reduces with increasing gw,
gw has no significant influence on the shear force demand
profile for T ≥ 1.0 s. Moreover, for T > 1.0 s, the dynamic
shear amplification values slightly increase for gw ≤ 2.0 and
remain almost constant for gw ≥ 3.0, as T increases (see
Fig. 10). In general the mean AOS and base shear amplifica-
tion values predicted with VT2 are much larger than 1.0,
with a maximum of 2.7, meaning that the predicted shear
force demands have significantly exceeded Vp (eq. [9]), which
is the capacity design shear envelope for the plastic hinge
zone of wall cases with gw < 4.0. This shows one more time
that the capacity design methods prescribed by CSA standard
A23.3-04 for shear strength design can produce inadequate
design envelopes. In spite of the very large exceeding shear
forces, the VT2 predictions showed at worst light shear
cracking and light onset of shear reinforcement yielding,
even if the shear resistance of each wall case was set to
match the capacity design envelope. The recent dynamic test
results of Ghorbanirenani (2010) of large-scale 8-storey MD
wall specimens designed according to CSA standard A23.3-
04 showed stable hysteretic shear responses, no shear rein-
forcement yielding, and no shear failure of the specimens for
base shear demands corresponding up to 150% of the nomi-
nal shear resistance (based on the actual material strengths)
of the wall or 200% of the design earthquake. These observa-
tions suggest that either (i) the shear resistance requirements

of CSA standard A23.3-04 for MD and ductile shear walls
are highly conservative; (ii) the energy associated to the high
peak shear forces, which are generated by higher mode re-
sponses, is not sufficient to sustain the displacement neces-
sary for a shear failure because of the transient nature of
these forces and of the unlikelihood that these forces occur
simultaneously with the peak displacement responses, which
are dominated by the first mode response (Lybas 1981); or
(iii) a combination of both assumptions. The observations
made by Ghorbanirenani (2010) support the first assumption
by suggesting a significantly higher contribution of concrete
in the base hinge region to shear resistance than that required
for design. The predictions obtained in the present work
agree with the second assumption because they show that
the peak base shear forces and the peak top displacements
never occur simultaneously and the base shear forces corre-
sponding to the peak top displacements are generally much
lower than the maximum base shear force. The previous as-
sumptions need further investigation but this is beyond the
scope of this paper. Meanwhile, the predictions obtained in
this work indicate that none of the dynamic shear amplifica-
tion factors presented in section 2 can adequately estimate, in
their current form, the predicted amplification values because
their formulation does not generally account for T and gw and
(or) is not adapted to Canadian seismic provisions. These is-
sues result in estimates that largely differ from those pre-
dicted, as observed from Figs. 1 and 10. An adequate
general formulation should not only account for T and gw
but also for the seismic zone and mD (or RdRo).
The predictions showed that T and gw largely influence the

moment demand, which increases with increasing T and re-
ducing gw. For T ≥ 1.0 and gw < 3.0, the predicted flexural
demand at the upper storeys has always significantly ex-
ceeded the capacity design moment envelope and this excess
reduces with increasing gw. This shows that the capacity de-
sign method prescribed by CSA standard A23.3-04 for flexu-
ral strength design can produce inadequate design envelopes.
In general, for gw ≥ 2.0 and any T, the plastic hinge mecha-
nism is constrained at the wall base, as expected, despite
sometimes light flexural yielding at the upper storeys (mf <
2). This suggests that plastic hinge formation at the upper
storeys might be precluded if a minimum gw value of 2.0 is
forced at the design stage. An additional hinge inhibition
would appear when flexural design above the base hinge
zone is governed by the required minimum reinforcement, as
observed in Fig. 11. It is important to note that these state-
ments only apply to regular wall structures without stiffness
and (or) strength irregularities. These irregularities are prone
to plastic hinge formation. For instance, preliminary analyses
with gw = 2.0 and T ≥ 1.0 predicted at the upper storeys a
plastic hinge at the storey just above a reinforcement curtail-
ment if the wall flexural strength reduction between these
two adjacent storeys exceeded about 20% for wall cases with
T = 1.0 s and about 10% for cases with T = 4.0 s (note that
no such sensitivity to strength reductions was observed with
gw ≥ 3.0). Also the 8-storey moderately ductile RC wall
specimens (gw = 1.145 ≡ 2.29 for ductile walls, see below)
dynamically tested by Ghorbanirenani (2010) with design-
level excitations experienced plastic hinge formation at the
symmetric setback located just above the wall mid-height.
Therefore, all these results suggest that a SPH design may
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be inadequate and unsafe for regular ductile cantilever wall
structures with gw < 2.0 and for wall structures with stiffness
and (or) strength irregularities at the upper storeys. A dual-
plastic hinge design (Panagiotou and Restrepo 2009; Ghorba-
nirenani 2010) may be a better alternative. An additional
plastic hinge mechanism located in the upper storeys nor-
mally enables a slight reduction of base shear amplification,
as shown in Fig. 10 for gw = 1.3.
Note that some of the above results may certainly apply to

moderately ductile RC walls designed with CSA standard
A23.3-04. For these walls, the product RdRo = 2.0 × 1.4 =
2.8, which is half of the total force reduction factor for duc-
tile walls (RdRo = 5.6). This means that the results obtained
for ductile walls with gw ≥ 2.0 might theoretically be ex-
tended to MD walls with gw ≥ 1.0. Using this assumption,
Fig. 10 suggests a dynamic base shear amplification value
slightly above 1.5 for MD walls with gw = 1.3 (≡ 2.6 for
ductile walls). This suggests that CSA standard A23.3-04
should also account for dynamic shear amplification for shear
strength design of MD walls, given that the seismic provi-
sions for these walls are much less stringent than for ductile
walls. However, the excellent shear performance of the MD
wall specimens dynamically tested by Ghorbanirenani (2010)
for motion intensities corresponding up to 200% of the de-
sign earthquake suggests that it is unnecessary.

6. Conclusion
In this work, a parametric study of regular ductile RC can-

tilever walls designed with the 2010 NBCC and CSA stand-
ard A23.3-04 for Vancouver was performed to investigate
the influence of the following parameters on the higher
mode amplification effects and hence on the seismic force
demand: number of storeys (N), fundamental lateral period
(T), site class (SC), wall aspect ratio (Ar), wall cross-section
(WCS), and wall base flexural overstrength (gw). The study
is based on ITHAs, carried out with a large suite of design-
level ground motions, of fixed-base isolated walls modelled
with two different 2D modeling approaches: a multilayer
beam approach (OpenSees) modeling shear deformation lin-
early and uncoupled to flexure and axial deformations and a
smeared membrane element approach (VecTor2) modeling
shear deformation inelastically and fully coupled with the
flexure–axial interaction. From this study, the following
main conclusions can be drawn:

1. Not accounting for inelastic shear deformation and shear–
flexure–axial interaction can produce dynamic shear am-
plification predictions that are much larger in magnitude
and inadequate in trend when shear deformation in wall
response is significant.

2. The relation 0.5lw + 0.1H prescribed by CSA standard
A23.3-04 for determining the base plasticity height re-
quiring special ductile detailing is inadequate, giving
too conservative estimates for tall walls with large
flexural overstrength at the wall base.

3. The studied parameters affecting the most dynamic shear
amplification and seismic force demand are T and gw.

4. While for any T, dynamic shear amplification significantly
reduces with increasing gw, gw has no significant influ-
ence on the shear force demand profile for T ≥ 1.0 s.
Moreover, for T > 1.0 s, dynamic shear amplification

slightly increases for gw ≤ 2.0 and remains almost con-
stant for gw ≥ 3.0, as T increases.

5. None of the reviewed dynamic shear amplification factors
can adequately estimate, in their current form, the pre-
dicted amplification values because their formulation
does not generally account for T and gw and (or) is not
adapted to Canadian seismic provisions. An adequate
general formulation should not only account for T and gw
but also for the seismic zone and mD (or RdRo).

6. The capacity design methods prescribed by CSA standard
A23.3-04 for ductile walls can produce capacity design
strength envelopes that fail to conservatively estimate
wall shear force demand and to prevent unintended plastic
hinge formation at the upper storeys of the wall.

7. A minimum gw value of 2.0 can generally preclude the un-
intended hinge formation at the upper storeys and constrain
the plastic mechanism at the wall base, as expected. How-
ever, for walls with 2.0 ≤ gw < 3.0, this observation ap-
plies if reinforcement curtailment along the wall height
does not result in a flexural strength reduction, between
two adjacent storeys, exceeding about 20% to 10% for
walls with T1 ranging from 1.0 s to 4.0 s, respectively.

8. A SPH design may be inadequate and unsafe for regular
ductile cantilever wall structures with gw < 2.0 and for
wall structures with stiffness and (or) strength irregula-
rities at the upper storeys.
As this work is based on the seismic region of Vancouver,

some conclusions may not necessary apply to regions with
different seismicity. A similar work is in progress for the
eastern Canadian regions.
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